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Abstract
The demands associated with the production of advanced parts made of nickel-base superalloys are continuously increasing to
meet the requirements of current environmental laws. The use of lightweight components in load-carrying aero-engine structures
has the potential to significantly reduce fuel consumption and greenhouse gas emissions. Furthermore, the competitiveness of the
aero-engine industry can benefit from reduced production costs and shorter development times while minimizing costly try-outs
and increasing the efficiency of engines. The manufacturing process of aero-engine parts in superalloys at temperatures close to
950 °C produces reduced stamping force, residual stresses, and springback compared to traditional forming procedures occurring
at room temperature. In this work, a hot forming procedure of a double-curved component in alloy 718 is studied. Themechanical
properties of the material are determined between 20 and 1000 °C. The presence and nature of serrations in the stress–strain
curves are assessed. The novel version of the anisotropic Barlat Yld2000-2D material model, which allows the input of thermo-
mechanical data, is used in LS-DYNA to model the behaviour of the material at high temperatures. The effect of considering the
stress-relaxation data on the predicted shape distortions is evaluated. The results show the importance of considering the thermo-
mechanical anisotropic properties and stress-relaxation behaviour of the material to predict the final geometry of the component
with high accuracy. The implementation of advanced material models in the finite element (FE) analyses, along with precise
process conditions, is vital to produce lightweight components in advanced materials of interest to the aerospace industry.
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Introduction

The current role of the aviation industry in the reduction of
carbon dioxide (CO2) emissions has been intensified to meet
the requirements of increasingly stringent environmental leg-
islations. The reduction of the thickness, and consequently,

the weight of load-carrying structures, has the potential to
significantly reduce fuel consumption and improve the effi-
ciency of engines. Traditional cold forming procedures of ad-
vanced parts made of nickel-base superalloys present some
challenges, such as considerable material consumption, high
amount of residual stresses and springback, high stamping
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loads, and limited formability. In the manufacturing process of
a turbine exhaust case (TEC), a double-curved component
made of alloy 718 is welded together with other parts to form
a subassembly, as illustrated in Fig. 1. Excessive shape distor-
tions and residual stresses in the formed part may significantly
affect the subsequent steps in the manufacturing chain. The
economic consequences of repetitive and time-consuming try-
out compensation loops can be detrimental to the competitive-
ness of the industry.

To overcome such difficulties, the manufacturing of com-
plex parts in nickel-base superalloys employs advanced
thermo-mechanical forming techniques, where the material
is heated up to temperatures around 950 °C. Hot forming
has, in general, several advantages compared to cold forming,
i.e. reduced material consumption, stamping force, amount of
residual stresses, and springback [1]. Some disadvantages are
related to, for instance, high-energy consumption during
forming and the requirement of more intermediate steps in
the manufacturing chain, which, in turn, generates additional
maintenance of the tool parts and thereby increases the

product cost. In addition, forming of nickel-base superalloys
at intermediate temperatures may promote the precipitation of
secondary phases in the matrix and, thereby, trigger the occur-
rence of the serrated yielding phenomenon. The formability of
the blank can negatively be affected due to the inhomoge-
neous deformation and flow limitation of the material.
Conducting the hot forming procedure at forming tempera-
tures near 950 °C prevents precipitation hardening, while the
component can be held for a specific period of time to reduce
the residual stresses over the part, allowing the material to
stress relax with time, thereby reducing the amount of
springback. The degree of stress reduction that can be obtain-
ed in a hot forming procedure originates from the thermo-
mechanical properties of the material and depends on several
factors, i.e. initial stress level, temperature, and holding time
[2, 3]. The process parameters, along with the anisotropy and
temperature dependence of the material are vital to obtaining
accurate FE predictions of the hot forming process [3–7].
Short manufacturing and delivery times can improve the com-
petitiveness of the aviation industry. Relatively high forming

Fig. 1 Location of the double-
curved component in a jet engine
(courtesy of GKN Aerospace
Sweden)

Fig. 2 Dimensions of the double-curved component [mm]
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temperatures may reduce the manufacturing time of a compo-
nent while minimizing the amount of springback and residual
stresses in the subsequent step in the manufacturing chain.
The aim is to produce lightweight components where the final
geometry of the part is secured while maintaining the required
structural performance. The use of virtual shape distortion
prediction and compensation tools is, therefore, key to the
industry.

Several numerical studies have been performed on the
springback prediction during hot forming of different materials,
such as ultra-high-strength steels [1, 8, 9] and aluminum [10–13]
alloys. Odenberger et al. [14] developed a hot forming procedure
of a component made of Ti-6Al-4 V using FE analyses. In fur-
ther work by Odenberger et al. [3, 5], they concluded that aniso-
tropic time- and temperature-dependent material data were key
to obtaining an accurate magnitude and distribution of the pre-
dicted shape deviation within the sheet thickness. Jeong et al.
[15] studied the formability of Inconel 625 between 900 and
1200 °C. No previous work in the prediction of shape deviations
during hot forming in alloy 718 was found in literature.

In this work, the thermomechanical manufacturing process
of a double-curved component made of alloy 718 is studied,
see Fig. 2. The FE analyses of the chosen hot forming proce-
dure consist of a crash forming step at a target temperature of
950 °C, followed by stress relaxation and springback, using
LS-DYNA. The mechanical properties of the material are de-
termined between 20 and 1000 °C and used as input to the
novel thermo-mechanical version of the Barlat Yld2000-2D
material model based on previous work by Barlat et al. [16]. In
this work, the influence of using an isotropic yield criterion in
the predicted amount of springback in a hot forming simula-
tion has been assumed a similar behaviour as previously re-
ported by Odenberger et al. [3, 5] and Pérez Caro et al. [17]. A
qualitative analysis of the shape of the stress–strain curves at
high temperatures is performed. The microstructure of select-
ed specimens is connected to the behaviour of the material at
specific temperatures. A validation hot forming test is per-
formed at approximately 900 °C to compare the predicted
with the measured final shapes of the component via three-
dimensional (3D) scanning and best-fit computer-aided de-
sign (CAD) evaluation. The effect of using stress relaxation
data on the predicted springback of the component is assessed.

Material

The material used in this work is the precipitation-hardenable
nickel–chromium alloy 718 (UNSN07718) in the form of thin
sheets with a thickness of 2.6 mm, and under the solution-
annealed condition in accordance with the SAE AMS5596
specification. The chemical composition can be found in the
work by Pérez Caro et al. [17].

Figure 3 shows the typical microstructure of alloy 718 un-
der the solution-annealed condition. The microstructure con-
sists of the face-centred cubic (FCC) γ-phase matrix and
sparse primary carbides, such as NbC, TiC, and δ phase locat-
ed at the grain boundaries. Alloy 718 is usually strengthened
by precipitation hardening of ordered FCC γ’-Ni3(Al, Ti),
particularly ordered body-centred tetragonal (BCT) γ”-
Ni3Nb phases, during the subsequent aging heat treatment.
Extended exposure of those precipitates to high temperatures
may transform them into the detrimental η-Ni3Ti and δ-Ni3Nb
phases, respectively [18]. As specified in the material certifi-
cate, the material was free of Laves phase.

Dynamic strain aging

The serrated yielding phenomenon exhibits discontinuities,
such as serrations or load drops, in the stress–strain curves
obtained by uniaxial tensile tests at a constant strain rate
[19]. This process is also known as the Portevin-Le

Fig. 3 Microstructure of the specific batch of alloy 718 in the as-received
condition

Fig. 4 A-, B-, and C-type serrations, extracted from [19]
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Chatelier (PLC) effect [20, 21], which exhibits as a set of
bands propagating across the specimen. The dynamic strain
aging (DSA) effect is considered, in this study, as the physical
process that causes the serrated plastic flow. The serrations are
induced by the interactions between mobile dislocations and
interstitial or substitutional solutes [22].

The serrations in the stress–strain curve due to DSA are
usually classified into five different categories: A, B, C, D,
and E, depending on both the temperature and strain rate [19].
In the A-type serrations, the stress increases and decreases
above and below the mean level of the flow curve, respective-
ly, in a periodic manner. Repeated deformation bands are

believed to initiate at the same end of the specimen and prop-
agate in the same direction along the gauge length. They occur
at relatively low temperatures and high strain rates. The B-
type serrations are quick fluctuations at approximately the
mean level of the hardening curve. They usually develop from
the A-type serrations at relatively high strain values; however,
they may also appear at the onset of serrations at higher tem-
peratures and lower strain rates compared to those of the A-
type. The increment of the stresses above the general level of
the curve indicates that both A- and B-type can be considered
as locking serrations. The C-type serrations appear as stress
drops below the mean level of the hardening curve, indicating

Fig. 5 aOriginal and b smoothed
flow curves for alloy 718 between
20 and 1000 °C in the L direction
[31]. The hardening curve at
800 °C is added in this study for a
better understanding of the
behaviour of the material at
elevated temperatures

Table 1 Experimental parameters
for alloy 718 between 20 and
1000 °C used to calibrate the
novel version of the Barlat
Yld2000-2D material model. The
data at 20 °C, as well as the E-
moduli, are extracted from Pérez
Caro [31]. The yield stresses and
Lankford coefficients are
expressed in the L, D, and T
directions, and in the biaxial (B)
stress state

Temperature

[°C]

E [MPa] Yield stress [MPa] Lankford coefficient

L D T B L D T

20 196,220 502.43 489.87 480.56 538.00 0.761 0.912 0.960

150 189,980 436.46 426.38 426.21 467.36 0.753 0.825 0.868

300 181,910 376.12 373.63 376.62 402.74 0.759 0.860 0.889

500 171,150 355.68 357.12 355.84 380.87 0.825 0.924 0.955

700 160,390 359.40 354.26 354.50 384.84 0.831 0.961 0.943

800 151,935 352.99 334.55 340.45 377.98 0.799 0.913 0.929

900 142,716 149.41 135.03 146.92 159.99 0.879 1.002 0.999

950 138,633 133.59 125.10 137.62 143.04 0.893 1.008 1.002

1000 134,495 131.52 100.61 105.17 140.83 0.892 1.037 1.041
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that dislocations are being unlocked. They usually arise at
higher temperatures and lower strain rates than those of the
A- and B-type. Figure 4 illustrates the different types of ser-
rations. Since the D- and E-type serrations are not commonly
reported, they are not considered in this study.

The DSA effect has previously been studied in many
nickel-base superalloys, such as alloy 718, because it occurs
at the same temperature range as their typical service temper-
ature, which may affect the properties and service life of the
component. The serrated flow that occurs during the DSA
phenomenon results in inhomogeneous deformation of the
material, leading to negative strain rate sensitivity and, there-
fore, causes material instability and flow limitation during the
forming process at intermediate temperatures [23]. Nalawade
et al. [24] studied the presence and nature of serrations, de-
pending on the temperature and initial microstructure, in a
solution-treated alloy 718. They performed uniaxial tensile
tests at a strain rate of 6.5 × 10−5 s−1 between 200 and
700 °C. A-type serrations appeared at 200 °C, whereas B-
type serrations were present between 300 and 450 °C. The
latter temperature was identified as the point from where the

C-type serrations were dominant up to 700 °C. These results
were validated byHayes [25], who identified analogous types of
serrations in the same temperature range. Further work by
Nalawade et al. [26] included the effect of the strain rate in the
serrated yielding behaviour of alloy 718. The uniaxial tensile
tests at 6.5 × 10−3 s−1 yielded no serrations at 200 °C. A-type
serrations appeared at 300 °C, whereas B- or A +B-type serra-
tions were present between 400 and 600 °C. C-type serrations
were found at 650 °C. No serrations appeared at 700 °C.
Similarly, the findings from Weaver and Hale [22] in a
process-annealed alloy 718 at 1.4 × 10−3 s−1 showed A- and B-
type serrations in a temperature range of 231–465 °C. C-type
serrations appeared between 520 and 760 °C. The same tenden-
cies were observed by Rezende et al. [27] in a solution-annealed
alloy 718 under secondary vacuum. Uniaxial tensile tests be-
tween 200 and 800 °C at a strain rate of 3.2 × 10−4 s−1 yielded
A- and B-type serrations from 200 to 450 °C, whereas C-type
serrations were observed from 450 to 750 °C.No serrations were
observed at 800 °C. Maj et al. [28] used statistical methods to
analyse the different types of serrations present in a solution-
strengthened alloy 718 subjected to uniaxial tensile testing at
different temperatures and strain rates. The tensile tests per-
formed at a strain rate of 2 × 10−3 s−1 produced A-type serrations
at 250 °C, whereas B-type serrations appeared at 300 °C. C-type
serrations were present between 300 and 750 °C, with a combi-
nation of C-and A-type serrations at 600 °C.

According to Rezende et al. [27], the behaviour of solution-
annealed alloy 718 at elevated temperatures can be defined by
two other mechanisms apart fromDSA, i.e. precipitation hard-
ening and oxygen assisted intergranular cracking (OAIC). The
OAIC phenomenon occurs due to the brittle intergranular
cracking that occurs when the alloy is deformed at elevated
temperatures because of oxygen penetration into the grain
boundaries in the form of NbO [29, 30]. The transition from
the normal to inverse behaviour of the critical strain for the
onset of serrations at 600 °C indicates the beginning of simul-
taneous precipitation hardening and OAIC. The concentration
of Nb is drastically reduced owing to the formation of γ’ and
γ” precipitates.

Table 2 Variation of the Young’s modulus for alloy 718 as a function
of temperature and strain (ε). The specimen at 800 °C fractured at
approximately 15% strain

Temperature
[°C]

E [MPa]

ε =3% ε =8% ε =11% ε =19%

20 163,720 143,655 136,313 114,477

150 161,479 142,154 134,590 118,733

300 156,878 139,733 132,396 120,683

500 159,475 144,800 137,373 120,244

700 152,045 136,600 130,601 114,874

800 146,602 130,203 124,755 –

900 140,036 124,011 120,376 104,310

950 136,864 121,957 117,946 104,329

1000 132,890 119,045 115,746 106,638

Fig. 6 Original and smoothed
(_sm) stress relaxation curves for
alloy 718 at different
temperatures

1359Int J Mater Form (2021) 14:1355–1373



Experimental work

Material-characterization tests

Uniaxial tensile tests were carried out using an MTS 810 100
kN servo-hydraulic machine and the digital image correlation
(DIC) systemARAMIS™ for strain measurements. Test spec-
imens were laser cut in three directions referenced to the
rolling direction: longitudinal (L), diagonal (D), and trans-
verse (T). The geometry of the samples can be found in
Pérez Caro et al. [17]. The tests were performed at a strain rate
range of 1.4 × 10−3 – 4.0 × 10−3 s−1 and temperature range of
20–1000 °C, conforming to the ISO 6892-1:2009 and ISO
6892-2:2011 standards. Each target temperature, i.e. 150,
300, 500, 700, 800, 900, 950, and 1000 °C, was reached using
inductive heating. The temperature was measured until frac-
ture using two different Optris CT pyrometers, LT22 (150–
700 °C) and 3MH2 (800–1000 °C), pointed at the centre of the
surface of each specimen. The emissivity was previously cal-
ibrated against a type-K thermocouple at each target temper-
ature with a maximum error < 1%. The distribution of the
temperature along the evaluation length, at the start of selected
tests, was measured using a FLIR T440 infrared camera. The
variation was, in all cases, between 0.5 and 1% of the corre-
sponding target temperature.

A temperature-resistant stochastic pattern was painted on
the surface of the samples to measure and compute the defor-
mations during the tests using a facet size/step of 19 × 15
pixels and a frame rate range of 20–4 Hz. The flow curves
for alloy 718 in Fig. 5a were obtained after the evaluation of

the strain-localisation area before fracture, with an average
size of 4 × 5 mm. The true stresses were calculated from the
force measurements whereas the true strains were computed
from the strain measurements with DIC. A more detailed de-
scription of the strain evaluation procedure using DIC can be
found in [32]. The abrupt change in the slope of the hardening
curves at 900, 950, and 1000 °C is due to the variation in strain
rate during the test. Due to the presence of serrations, and the
need to acquire smooth and continuous input data into the FE
simulations, the hardening curves were smoothed using a
user-defined code based on the smoothing-spline function in
MATLAB R2014b, as illustrated in Fig. 5b.

The experimental mechanical properties of alloy 718 be-
tween 20 and 1000 °C, calculated from the smoothed curves,
are listed in Table 1. The Young’s moduli (E) were previously
determined by Pérez Caro [31] by the impulse excitation tech-
nique (IET) [33] between 20 and 700 °C, whereas the elastic
data at higher temperatures, up to 1000 °C, were extracted
from JMatPro®-V9. The Young’s modulus was used as a
reference for determining the initial yield stresses at each tem-
perature. The biaxial yield stress of alloy 718 at 20 °C, obtain-
ed by the silicone-rubber bulge test [34] by Pérez Caro et al.
[17], was used to scale the biaxial yield stresses between 150
and 1000 °C, following the same tendency as in the yield
stresses obtained from the uniaxial tensile tests in the longitu-
dinal direction. The Lankford coefficient, in the biaxial stress
state, is assumed equal to one at all temperatures.

The variation of the Young’s modulus with temperature
and strain was determined through loading–unloading tests
using the same test setup as for the uniaxial tensile tests.

Fig. 7 Microstructure of the specific batch of alloy 718 at (a) 20 °C, (b) 700 °C, and (c) 1000 °C

Fig. 8 Fracture surfaces of the tested tensile specimens at (a) 20 °C, (b) 700 °C, and (c) 1000 °C
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Every specimenwas unloaded at different strain levels accord-
ing to the displacement sensor in the tensile test machine, i.e.
3%, 8%, 11%, and 19%. The flow curves were obtained
from an evaluation area of approximately 50 × 8 mm.
The Young’s modulus at each target temperature in
Table 1 was scaled according to the corresponding per-
centage variation found from the loading–unloading
tests. Table 2 lists the calculated Young’s moduli as a
function of temperature and strain.

Stress relaxation tests were performed, in the L direction, at
a strain rate of 1.4 × 10−3 s−1 between 800 and 900 °C. The
specimens were tested, using the MTS equipment, up to an
engineering strain of 3%, and held at those positions while the
force, i.e. stress reduction, with time was recorded. The occur-
rence of stress relaxation in the elastic region for alloy 718 at
high temperatures was assumed as a similar behaviour as re-
ported by Odenberger et al. [3] during the hot forming of Ti-
6Al-4 V. Each curve was smoothed and extrapolated up to
900 s using a user-defined code in MATLAB R2017a.
Figure 6 shows both the experimental and smoothed curves.
The difference between the true stresses at the beginning and
end of each stress relaxation curve yielded a scale factor of
0.257, which was implemented in a user-defined code in
Fortran 77 to scale down the residual stresses obtained from
the hot forming FE simulation. The transformed stress state
was used as input to the subsequent springback FE analysis.

Microstructural examinations

Figure 7 shows the typical microstructure of alloy 718, obtain-
ed from an optical microscope, after testing at 20, 700, and
1000 °C. The samples were extracted at a small distance from
the fracture zone, after which they were polished with 3 μm
diamond paste, and finally etched with oxalic acid at 2.6 V.
The tested specimens at 20, 700, and 1000 °C presented al-
most no variation in grain sizes. However, there was a notice-
able increment and coarsening of the grain boundary precipi-
tates with temperature. The irregular grain edges and strain
lines inside some of the grains suggest dynamic recrystalliza-
tion at 1000 °C.

The microstructure of the fracture surfaces from the uniax-
ial tensile tests was studied by scanning electron microscopy
(SEM). The chemical elemental composition was analysed
with energy-dispersive X-ray spectroscopy (EDS). Figure 8
shows selected SEM images from the fractured surfaces of
the specimens tested at 20, 700, and 1000 °C.

Validation test

A crash-forming test at elevated temperature was performed to
validate the predicted shape distortions and temperatures from
the FE simulations. The tool used for the forming experiments
at room temperature by Pérez Caro [31] was modified for this

Fig. 9 Hot forming tooling
(CAD), with the formed part,
punch, die, insulation material,
and positioning pins. The heating
cartridges are placed inside the
holes in both the punch and die

Fig. 10 Measured and predicted
temperature of the blank during
the hot forming process,
including holding and cooling to
room temperature. The blank is
placed on support pins with the
thermocouple attached to its left
edge
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purpose. The punch and die were heated up to the desired
forming temperature using 36 UTX electrical cartridge
heaters, with power ranges from 2000 to 2500 W each, stra-
tegically placed inside each tool part to obtain an evenly dis-
tributed temperature on the surface. Figure 9 illustrates the hot
forming test setup. The punch and die were thermally insulat-
ed preventing heat transfer to the surrounding tool parts.

The forming test was carried out using a Wemhöner hy-
draulic press with 1300 tons of press capacity. A type-K ther-
mocouple was welded on the left edge of the blank to measure
its temperature during the heating and forming process, as
shown in Fig. 10. The blank was placed on support pins,
and the die was moved closer to the punch to heat the blank
up to 900 °C. When the temperature of the part was stable, the
die returned to its start position and the forming test was ini-
tiated, see Fig. 10. The initial forming temperature was
728.4 °C. The component was formed at a velocity of
5 mm/s and a stamping force of 1500 kN, followed by a
holding time of 900 s in the closed-tool position. The mea-
sured temperature of the component, at the end of the hot
forming process, was 881.5 °C. The average temperature of

the blank, between the start of the hot forming procedure and
end of holding, was 872.6 °C. After the forming process, the
part was allowed to air cool to room temperature.

The distribution of the temperature on the surface of the
punch, die, and blank was measured using the thermal camera.
An emissivity factor of 0.80 was determined by comparison of
the thermal images with the measured temperature of the
blank at the end of the heating stage. The blank, punch, and
die were previously coated with boron nitride to avoid reflec-
tions that could affect the measurements with the thermal
camera. The surface temperature of the tool parts in Fig. 11a
and b corresponds to the stage before placing the blank on the

Table 3 Average surface
temperatures in the four
different zones of the
punch (P) and die (D)

Zone Temperature [°C]

P1 839.9

P2 899.8

P3 924.9

P4 959.7

D1 847.4

D2 925.8

D3 928.9

D4 962.8

Fig. 11 Thermal images of the (a)
punch and (b) die before the
heating stage of the blank, prior to
the forming procedure; (c) and (d)
the corresponding thermal zones,
P1 – P4 and D1 – D4

Fig. 12 FE model of the hot forming procedure in alloy 718
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positioning pins. Four different temperature zones were dif-
ferentiated in each part, see Fig. 11c and d, as listed in Table 3.

The total amount of springback was measured, after the hot
forming process, via 3D scanning. The scanned part was com-
pared with the CAD nominal geometry using a best-fit
evaluation.

Numerical procedure

The FE analysis of the manufacturing process of the double-
curved component made of alloy 718 consists of a crash-
forming procedure, including heating, crash-forming, and
holding allowing for stress relaxation, followed by

Table 4 Barlat Yld2000-2D anisotropic parameters (αi) for alloy 718 between 20 and 1000 °C. The data at 20 °C is extracted from Pérez Caro [31]

Temperature
[°C]

α1 α2 α3 α4 α5 α6 α7 α8

20 0.8693 1.1190 0.8083 0.9929 0.9859 0.8372 1.0010 1.1580

150 0.9105 1.0490 0.8229 0.9875 0.9841 0.8371 0.9901 1.1680

300 0.9385 1.0040 0.8591 0.9749 0.9812 0.8320 0.9814 1.1220

500 0.9489 1.0090 0.8625 0.9728 0.9786 0.8377 0.9794 1.0880

700 0.9352 1.0340 0.8421 0.9798 0.9800 0.8416 0.9978 1.1250

800 0.8993 1.0830 0.8123 0.9908 0.9836 0.8421 1.0240 1.2270

900 0.9365 1.0450 0.8428 0.9791 0.9785 0.8453 1.0740 1.3330

950 0.9991 0.9458 0.9013 0.9585 0.9724 0.8399 1.0450 1.2420

1000 0.6411 1.5490 0.5618 1.0820 0.9978 0.8705 1.2140 1.7980

Fig. 13 Calibrated yield surfaces for alloy 718 between 20 and 1000 °C. The curves correspond to 0 and 0.5 shear stress values. The experimental yield
stresses (σ) for the three rolling directions tested (L, D, and T), and in the B stress state, are included, c.f. Table 1
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springback. The virtual tool setup was created in Dynaform
v5.9.3 from the initial graphics exchange specification (IGS)
surfaces obtained via a three-dimensional (3D) scan of the
physical tool. Figure 12 illustrates the FE model, which in-
cludes the die, blank, and punch. The tool setup included
250,584 nodes and 249,946 elements. The hot forming simu-
lation was analysed using a coupled thermo-mechanical ap-
proach in LS-DYNAR11.0.0 [35], i.e. the explicit and implic-
it solvers for the mechanical and thermal calculations, respec-
tively. The tool parts were modelled as rigid. The die travelled
at a velocity of 500 mm/s, corresponding to a scale factor of
100, in the negative z-direction based on a prescribed velocity
profile. A static and dynamic coefficient of friction of 0.40
was assumed and modelled using the Coulomb’s friction
law in the mechanical contact between the blank, punch, and
die. Several authors have used similar values of the friction
coefficients, ranging from 0.42 to 0.45, in the press hardening
of boron steel [36] and hot stamping of high-strength steel
[37], respectively, yielding promising agreement with experi-
mental results.

The model of the blank consisted of 250,582 nodes and
33,992 square shell elements. The element size was 2 mm.
The element formulation was fully integrated (type 16) with
four and seven integration points in-plane and through the
thickness, respectively. The novel version of the Yld2000 ma-
terial model by Barlat [16], which considers thermo-

mechanical data, was used to model the behaviour of the com-
ponent during the hot forming process. The input data needed
to calibrate the model was obtained from the non-destructive,
uniaxial tensile, and bulge tests, c.f. Table 1. The variation of
the shape of the yield surface with temperature is shown in
Fig. 13. The corresponding α parameters that determine each
yield surface are listed in Table 4. The variations of the initial
yield stresses and Lankford coefficients depending on the
rolling direction are illustrated in Fig. 14. As recommended
by Barlat and Lian [38] for FCC materials, the flow potential
exponent in the definition of the yield function is assumed to
equal 8.

The simulation software JMatPro®-V9 was used to obtain
the variation of the density, Poisson’s ratio, thermal conduc-
tivity, and specific heat with temperature for the specific batch
of alloy 718. A constant density of 7938 kg/m3 was assumed
throughout the forming process, corresponding to an average
temperature of the blank of 872.6 °C. The corresponding ther-
mal properties for both the tool [39] and blank materials
employed in the model are shown in Fig. 15. The heat transfer
coefficient (HTC) of each tool part, i.e. punch and die, was
calculated as the corresponding thermal conductivity of 30W/
mK at 950 °C divided by its average thickness, being 132.2
and 46.6 mm, respectively. Thus, the HTC between the blank
and punch was 227.008 W/m2K while 643.181 W/m2K be-
tween the blank and die.

Fig. 14 Variation of (a) yield stresses and (b) Lankford coefficients with rolling direction for alloy 718 between 20 and 1000 °C. The experimental data
are referenced to the L (0°), D (45°), and T (90°) directions

Fig. 15 a Poisson’s ratio, b thermal conductivity, and c specific heat for the blank and tools [39] obtained from JMatPro®-V9 for the specific batch of
alloy 718
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As illustrated in Fig. 11, the four different temperature
zones in each tool part were mapped to the respective nodes
in the FE model, see Fig. 16.

After the forming process, the springback analysis was set
up in LS-PrePost v4.5.25 using the nodal constraints in
Fig. 17. The springback simulation was performed using the
implicit solver in LS-DYNA R11.0.0.

Results and discussion

The calibrated yield surfaces for alloy 718 between 20 and
1000 °C in Fig. 13 show that the yield surface progressively
reduces its area with temperature while maintaining its origi-
nal shape, except at 1000 °C. The yield stresses decrease with
temperature in all cases and rolling directions, except for the
longitudinal case at 700 °C, c.f. Table 1 and Fig. 14a. The
degree of anisotropy in strain tends to weaken with increasing
temperature, except at 1000 °C, where the anisotropy in stress
increases. However, a yield stress plateau can be noticed be-
tween 500 and 800 °C for the L-direction case, comparable to
the results by Weaver et al. [22] between 227 and 627 °C. A
qualitative analysis of the EDS measurements at 20, 700, and
1000 °C showed a progressive reduction in the chemical ele-
mental composition of Nb, Mo, Ti, and Al with temperature,
see Fig. 18. A decrease in the concentration of Nb and Ti at
700 °C suggests the presence of additional γ’ and γ” precip-
itates. As concluded by Rezende et al. [27], the increase in the
yield stress at 700 °C can be related to the depletion of solute
elements that precipitate in the forms of γ’ and γ” phases,
which are responsible for the precipitation hardening.
Figure 19 shows the time-temperature-transformation (TTT)
diagram, extracted from JMatPro®-V9, for the specific batch
of alloy 718. Both the γ’ and γ” phases are more likely to
precipitate, i.e. at 700 °C, than δ phase. The loss of ductility
can be attributed to the onset of the OAIC phenomenon, as
reported by Zang et al. [40] between 800 and 950 °C.

The different micrographs illustrated in Fig. 7 reveal that
the grain size distribution remains practically constant be-
tween 20 and 700 °C. Weaver and Hale [22] and Maj et al.
[28] experienced no significant changes in the microstructure

of alloy 718 when exposed at temperatures up to 627 and
700 °C, respectively. The presence of small dimples on the
fracture surfaces in Fig. 8a indicates ductile fracture by coa-
lescence of microvoids at 20 °C. As appointed by Rezende
et al. [27], intergranular or crystalline fracture was dominant in
the sample tested at 700 °C, see Fig. 8b. The fewer but larger
dimples, compared to those in the sample at 20 °C, imply less
ductility. The same tendency was observed in Fig. 8c for the
tested specimen at 1000 °C.

The DSA phenomenon is clearly present between 300 and
800 °C owing to serrations in the true stress–strain curves. The
frame rate of 4 Hz used in the DIC system was in the lower
region of the requirements to detect and identify serrations, c.f.
Figure 5a. The force response was instead extracted from the
MTS tensile test machine, at a high frame rate of 100 Hz, to
confirm the type of serrations. The amplified view of the cor-
responding curves in Fig. 20 illustrates the different types of
serrations found at those temperatures. Even though the serra-
tions were, in all cases, accompanied by an audible sound, the
qualitative analysis of both their frequency and amplitude
yielded three different types of yield drops. As reported by
Maj et al. [28], both the frequency and amplitude of the yield
drops increase with temperature owing to an increase in the
interaction between solute atoms and mobile dislocations.
Considering the 300 °C case, A-type serrations occurred at
low strain values, whereas B-type serrations appeared near
the end of the test. Purely B-type serrations were present at

Fig. 16 Average nodal
temperatures in the (a) punch and
(b) die used in the FE analyses,
c.f. Table 3

Fig. 17 Nodal constraints considered in the springback calculations
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500 °C. The specimens tested at 700 and 800 °C showed C-
type serrations, with yield drops below the general level of the
curve. No serrations were observed at 900, 950, or 1000 °C.

The temperature ranges, where certain types of serrations
were dominant, are in accordance with other studies available
in literature at similar strain rates. Weaver and Hale [22] and
Rezende et al. [27] determined that A- and B-type serrations
are usually found between 200 and 450 °C. Nalawade et al.
[24] and Hayes [25] distinguished the temperature ranges of
A- and B-type serrations, i.e. 200 and 300–450 °C, respective-
ly. C-type serrations are dominant between 450 and 760 °C
[22, 24, 27]. In a further work by Nalawade et al. [26], A-type
serrations were observed at 300 °C, whereas B- or A + B-type
serrations were observed between 400 and 600 °C. C-type
serrations were found at 650 °C. Similar conclusions were

reported by Maj et al. [28], with A-type serrations at 250 °C,
B-type serrations at 300 °C, and C-type serrations between
300 and 750 °C. These temperature ranges may vary due to
several factors, such as the test method, strain rates, or small
variations in the heat treatment of the material.

The microstructural effect of the DSA phenomenon is usu-
ally related to the interactions between interstitial or substitu-
tional solutes with mobile dislocations. The agreement of
Weaver and Hale [22] and Maj et al. [28] on A- and B-type
serrations can be attributed to the interaction between intersti-
tial solutes and moving dislocations. Furthermore, substitu-
tional solute diffusion, i.e. Nb, is the common cause of C-
type serrations. The disappearance of serrations after some
time at 700 and 800 °C, c.f. Figure 5a, and at higher temper-
atures, could be explained through the reduction of interstitial

Fig. 18 EDS measurements of the fracture surfaces from the uniaxial tensile tests of alloy 718 at 20, 700, and 1000 °C

Fig. 19 TTT diagram of the
specific batch of alloy 718
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and substitutional solutes due to precipitation at the grain
boundaries, which consequently prevents the occurrence of
DSA [22, 24–28]. Fisk et al. [41] studied the precipitate evo-
lution in the early stages of aging in a solution-annealed alloy
718. Aging was carried out at temperatures between 500 and
850 °C for different times, ranging from 4 to 480 min. They
concluded that the size and distribution of γ” precipitates in-
creased for relatively long aging times, with clear evidence of
γ” precipitates presented when aging for 8 min at 760 °C.
Therefore, an increase in the number and size of γ” precipi-
tates could be expected in the double-curved component after
the holding time of 900 s at 872.6 °C. The evolution of the
critical strain for the onset of serrations with temperature is
illustrated in Fig. 21. The critical strain decreased with in-
creasing temperature (normal behaviour), following a tenden-
cy to increase with increasing temperature (inverse behaviour)
[22, 24, 42, 43]. The transition from the normal to inverse

behaviour, at 500 °C, coincided with the change from A-
and B-type to C-type serrations, respectively.

Figure 22 shows the predicted effective plastic strains at
different stages of the forming process, i.e. after tool closure
and start of holding (t = 12 s), when the measured temperature
of the blank has been stable (t = 50 s), and at the end of the hot
forming test including the holding time of 900 s (t = 912 s).
The corresponding predicted temperature distribution over the
part is illustrated in Fig. 23. The predicted temperature at the
same position as where the type-K thermocouple was placed
on the specimen is included in Fig. 10 for comparison pur-
poses. The temperature in the blank starts to normalise, ac-
cording to the different temperature zones in Fig. 16, from t =
50 s. The results are presented for the integration point located
in the middle of the thickness of each shell element. The
highest plastic strains are located at the upper part of the cen-
tral hole. Plastic strains ranging between 10−2 and 10−3 are
concentrated along the central y-axis. The overall effective
plastic strains ≤10−4 indicate that the component was mostly
formed under elastic conditions.

The maximum residual stress level over the part decreases
by 46% when the temperature is stable, and by an extra 6% at
the end of the holding stage, see Figs. 24a – c. The springback
simulation in Figs. 24d – f further decreases the residual
stresses over the part. The consideration of the data from the
stress relaxation tests significantly reduces the amount of re-
sidual stresses, as illustrated in Fig. 25a – c. The von Mises
stresses after springback are depicted in Figs. 25d – f.

Figure 26 a – c show the predicted shape deviations after
springback for the three considered cases, c.f. Figure 24d – f.
The effect of the stress relaxation from Fig. 25d – f on the
corresponding numerical results is illustrated in Fig. 27a – c.

Fig. 20 Different types of
serrations found between 300 and
800 °C fromMTS measurements.
The amplified view of each type
of serration is marked with 1–5 in
the corresponding area of the
curve

Fig. 21 Variation of the critical strain for the onset of serrations with
temperature. The solid and dashed lines indicate normal and inverse
behaviour, respectively
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The measured amount of springback in the hot-formed part is
presented in Fig. 28 for comparison

The predicted springback after hot forming without consid-
ering the holding time (t = 12 s) in Fig. 26 a considerably
deviates from the 3D-scanned part, c.f. Figure 28. The overall
distortions when the temperature of the blank is stable (t =
50 s) range between 1 and 2 mm, except in the four protruding
areas, where the shape deviations considerably exceed the
thickness of the sheet. As illustrated in Fig. 27, the distribution
and degree of shape distortions after considering stress relax-
ation are in much better agreement with the experimental
measurements. However, the springback results at t = 12 s in
Fig. 27a present the highest deviances in almost all measure-
ment points up to 1.119 mm. The predicted shape deviations
at t = 50 s are the closest to the measured values, particularly at
the right and left sides of the component, see Fig. 27b. On the
contrary, the predicted amount of springback at the end of the
forming test, including the holding time of 900 s (t = 912 s),
better agrees at the top and bottom areas, as well as the ear-
shaped corners, see Fig. 27c. The maximum difference be-
tween the simulations and experiment was ≤0.886 mm and ≤
0.756 mm, respectively.
The hot deformation and springback behaviour of alloy

718 can strongly be related to its mechanical properties. By
comparison with the study by Odenberger et al. [3] about hot
forming of Ti-6Al-4 V, the Young’s modulus of alloy 718,
obtained via IET tests, is approximately 50% lower than Ti-
6Al-4 V at 700 °C. These results indicate that the amount of

springback in alloy 718 could be expected to be lower than Ti-
6Al-4 V at the considered temperature. However, the lack of
serrations of Ti-6Al-4 V suggests that the formability should
be better than in alloy 718 up to 700 °C, where the DSA
phenomenon was clearly present between 300 and 800 °C.

The yield stress also influences the amount of elastic defor-
mation that occurs during the hot forming procedure and
thereby the amount of springback obtained. The yield stress
decreases, from 20 to 700 °C, approximately 70% [3] and
28% for Ti-6Al-4 V and alloy 718, respectively. The yield
stress of Ti-6Al-4 V at 700 °C is 296.10 MPa, about 18%
lower than alloy 718. The flow curves of alloy 718 in Fig. 5
present a pronounced work hardening behaviour compared to
Ti-6Al-4 V fromOdenberger et al. [3] at all temperatures. The
higher Lankford coefficient and elongation to fracture values
of alloy 718, compared to Ti-6Al-4 V between 20 and 700 °C
in the longitudinal direction with respect to the rolling direc-
tion, suggest a better formability for alloy 718. This is in good
agreement with the well-known low formability of Ti-6Al-4 V
between room temperature and up to about 500 °C.

Odenbeger et al. [3] concluded that Ti-6Al-4 V was sensi-
tive to stress relaxation at temperatures over 400 °C, with low
stress relaxation rates at 500 and 600 °C. Major stress relaxa-
tion could be observed at 700 °C in both the elastic and plastic
regions, corresponding to a suitable temperature for hot
forming while applying a subsequent holding time to signifi-
cantly reduce springback. However, the stress relaxation
curves of alloy 718 in Fig. 6 show a quite low stress relaxation

Fig. 22 Effective plastic strains at different stages of the hot forming procedure

Fig. 23 Predicted temperature distribution at different stages of the hot forming procedure
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rate at 800 °C. Therefore, a higher forming temperature is
required for alloy 718 to reach a suitable level of stress relax-
ation rate for hot forming, mainly due to the DSA phenome-
non and stress relaxation behaviour of the material.

The deviances between the measured and simulated shape
deviations may originate from the selection of the scale factor
to transform the residual stresses. Since the scale factor

controls both the magnitude and speed of the residual stress
relaxation process with time, it may affect the predicted
springback. In this work, the scale factor for each stress relax-
ation test in Fig. 6 was calculated based on the corresponding
initial temperature and strain level. The scale factor of 0.257
was obtained by linear interpolation and assuming a constant
temperature of the blank, 872.6 °C. Variations in the nodal

Fig. 24 Von Mises stresses (a) – (c) at different stages of the hot forming procedure and (d) – (f) after springback

Fig. 25 Von Mises stresses (a) – (c) at different stages of the hot forming procedure considering stress relaxation and (d) – (f) after springback
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temperatures of the blank will influence the rate and degree of
stress relaxation in those areas and, consequently, the shape
distortions over the part. Being able to measure and predict the
temperature distribution on the surface of the blank during the
whole hot forming procedure with high accuracy will allow

the use of suitable scale factors to transform the residual stress-
es at each node. In addition, the stress relaxation tests were
performed at an initial strain level of 3%, which only covers a
small range of the effective plastic strains from the forming
simulation, c.f. Figure 22. Therefore, additional tests in the

Fig. 26 Predicted shape distortions at different stages of the hot forming procedure after springback. All measurements are expressed in millimetres

Fig. 27 Predicted shape distortions at different stages of the hot forming procedure, considering stress relaxation, after springback. All measurements are
expressed in millimetres
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elastic region and a more advanced method to transform the
residual stresses, based on each nodal temperature and strain
level, need to be considered. For instance, Odenberger et al.
[3] used the Zener-Wert-Avrami function [44] to model the
stress relaxation behaviour of a Ti-6Al-4 V alloy during a hot
forming procedure at 700 °C.

Conclusions

In this work, the effect of considering stress relaxation data in
the predictions of the final shape of a double-curved compo-
nent in alloy 718 subjected to a hot forming procedure was
studied. The use of accurate thermo-mechanical material data,
coupled with advanced FE analyses, yielded the predicted
final shape of the component within sheet thickness and ac-
ceptable tolerance to the industry. The main conclusions are as
follows:

& The sudden increase in the yield stress in the longitudinal
rolling direction at 700 °C can be attributed to the precip-
itation of γ’ and γ” phases.

& The DSA phenomenon is present in the material between
300 and 800 °C. Three different types of serrations were
identified, i.e. types A and B at 300 °C, type B at 500 °C,
and type C between 700 and 800 °C. All serrations were
accompanied by an audible sound. The disappearance of
serrations at high strain levels at 700 and 800 °C, and at
higher temperatures, could be related to the reduction of
interstitial and substitutional solutes due to precipitation at
the grain boundaries. This is supported by the increase in
number and coarsening of precipitates at the grain bound-
aries shown in the micrographs.

& The shift from normal to inverse behaviour of the critical
strain for the onset of serrations at 500 °C coincided with
the change from A- and B- to C-type serrations,
respectively.

& The predicted springback considering the stress relaxation
of the material shows encouraging agreement with the
experimental measurements. The tendencies in the distri-
bution of the shape distortions are well captured, with a bit
more deviance at the four ear-shaped corners. The maxi-
mum shape distortions over the part are less than 25% of
the sheet thickness.

& The use of an anisotropic material model coupled with
thermo-mechanical analysis, and considering the stress
relaxation behaviour, can accurately predict the final
shape of a nickel-base superalloy component, which is
of interest to the aerospace industry.

& The difference between the predicted and measured
springback can be related to the assumption of isothermal
stress relaxation whereas the temperature over the part
clearly is non-isothermal.

& The consideration of stress relaxation data to simulate the
holding stage, during a hot forming procedure, is evi-
denced to be of utmost importance in the prediction of
shape distortions after hot forming with high accuracy.
However, there is a need to further develop the method
to transform the residual stresses during holding, which
considers both the temperature and elastic or plastic strain
level at each node.
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