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Abstract
Micropitting is a type of surface damage that occurs in rolling–sliding contacts operating under thin oil film, mixed lubrication 
conditions, such as those formed between meshing gear teeth. Like the more widely studied pitting damage, micropitting is 
caused by the general mechanism of rolling contact fatigue but, in contrast to pitting, it manifests itself through the forma-
tion of micropits on the local, roughness asperity level. Despite the fact that micropitting is increasingly becoming a major 
mode of gear failure, the relevant mechanisms are poorly understood and there are currently no established design criteria 
to assess the risk of micropitting occurrence in gears or other applications. This paper provides new understanding of the 
tribological mechanisms that drive the occurrence of micropitting damage and serves to inform the ongoing discussions on 
suitable design criteria in relation to the influence of contact slide–roll ratio (SRR) on micropitting. A triple-disc rolling 
contact fatigue rig is used to experimentally study the influence of the magnitude and direction of SRR on the progression 
of micropitting damage in samples made of case-carburised gear steel. The test conditions are closely controlled to isolate 
the influence of the variable of interest. In particular, any variation in bulk heating at different SRRs is eliminated so that 
tests are conducted at the same film thickness for all SRRs. The results show that increasing the magnitude of SRR increases 
the level of micropitting damage and that negative SRRs (i.e. the component where damage is being accumulated is slower) 
produce more micropitting than the equivalent positive SRRs. Measurements of elastohydrodynamic film thickness show that 
in the absence of bulk heating, increasing SRR does not cause a reduction in EHL film thickness and therefore this cannot 
be the reason for the increased micropitting at higher SRRs. Instead, we show that the main mechanism by which increase in 
SRR promotes micropitting is by increasing the number of micro-contact stress cycles experienced by roughness asperities 
during their passage through the rolling–sliding contact. Therefore, the asperity stress history should form the basis of any 
potential design criterion against micropitting.
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1 Introduction

Micropitting is a type of surface damage that occurs in 
rolling–sliding contacts operating under mixed lubrica-
tion conditions associated with relatively thin oil films and 
high surface roughness. It is most commonly observed in 
gear teeth contacts, where it is a major design issue, but 
can also affect other machine components such as rolling 
bearings. Micropitting is caused by the general mechanism 
of rolling contact fatigue and manifests itself as numerous 

small pits and cracks on the surface of the affected com-
ponent. It occurs through propagation of small, surface-
initiated fatigue cracks, which grow at a shallow angle to 
the surface until a small segment of material detaches to 
form a micropit. The diameter and depth of such micropits 
is in the region of tens of microns. Damage is limited to 
the near-surface zone affected by the local stresses occur-
ring due to surface roughness asperity contacts [1]. As such, 
micropitting differs from pitting which is characterized by 
pits of the order of overall contact size. However, both are 
fundamentally caused by the mechanism of rolling contact 
fatigue and involve the initiation and propagation of sur-
face fatigue cracks. Although individual micropits are rela-
tively small, micropitting damage typically spreads to cover 
a relatively large surface area and, if allowed to progress, 
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eventually causes a significant loss of material from the load 
bearing surface, such as a gear tooth flank. Micropitting can 
therefore be thought of as a progressive fatigue wear process.

A review of relevant literature reveals multiple factors of 
influence on the onset and progression of micropitting. In 
particular, the relationship between the specific film thick-
ness (Λ ratio) and micropitting severity has received sub-
stantial attention. In his studies on the influence of surface 
roughness on pitting behaviour, Dawson [2, 3] defined a 
parameter ‘D’ as a ratio of surface roughness to film thick-
ness, equal to the reciprocal of what is now known as the 
specific film thickness or Λ ratio. It is now well established 
that micropitting only occurs if the specific film thickness is 
low enough to facilitate severe asperity-to-asperity contact 
[4, 5]. Other factors, including the magnitude and direc-
tion of sliding, level of Hertz contact pressure, material 
and running-in, have also been shown to have a significant 
influence on micropitting by several authors [6–12]. In addi-
tion to these experimental studies, a number of authors have 
attempted to predict the onset and progression of micro-
pitting on gear teeth using numerical contact models [8, 
13–15].

In a series of studies, Olver and co-workers [4, 5, 16] 
showed that lubricant additives can affect the extent of 
micropitting by suppressing the wearing-in process, which 
in turn leads to an increased number of asperity stress cycles 
[5], and by changing the level of contact friction, which 
modifies tensile stresses and hence affects crack initiation 
and propagation [16]. These studies clearly indicated that the 
onset and progression of micropitting is highly dependent 
on the outcome of the continuous competition between sur-
face fatigue and mild surface wear. The latter continuously 
modifies the surface roughness profiles and hence affects 
local fatigue damage accumulation. The importance of this 
competition on micropitting damage in gear teeth contact 
has recently been studied in detail by Morales-Espejel et al. 
[15] using a numerical approach that considers the concur-
rent effects of micropitting and mild wear on surface rough-
ness evolution.

Despite this considerable body of work, the fundamental 
mechanisms of action of various factors which are known 
to influence micropitting remain poorly understood. Argu-
ably the most significant amongst those is the influence of 
slide–roll ratio, where both the magnitude of sliding veloc-
ity and its direction are known to be important, but the 
exact mechanisms and suitable criteria to account for this 
influence are still debated. The outcome of this debate is of 
practical importance given the ongoing efforts in establish-
ing suitable design criteria for prevention of micropitting 
[18, 19]. Despite its apparent importance to gear reliability, 
there is currently no gear design standard aimed directly at 
prevention of micropitting. The lack of suitable design pro-
cedures means that micropitting failures may be frequently 

observed in what are otherwise perfectly well-designed gear 
sets. Some practical examples of micropitting in gears are 
illustrated in [17] amongst others. To address this issue, 
there are ongoing efforts within the international standards 
bodies to provide suitable guidance for assessing the risk 
of micropitting in gears, with two recent ISO documents 
[18, 19] being perhaps the most prominent examples. These 
documents recognize the influence of contact slide–roll 
ratio (SRR) on micropitting and attempt to account for this 
influence through the introduction of a ‘sliding factor’,  SGF,Y 
which is used to reduce the predicted EHL film thickness 
values as SRR increases. The proposed reasoning behind 
this approach is that the increased slide–roll ratio causes 
a drop in EHL oil film thickness, due to an increase of in-
contact flash temperature with increasing SRR, which in turn 
causes more micropitting. This theory is described in more 
detail in [20, 21]. Although micropitting may well increase 
with increasing SRR, the relevant mechanism proposed in 
these documents contradicts some widely accepted aspects 
of elastohydrodynamic lubrication. In particular, it is far 
from clear why the in-contact flash temperature would have 
a significant effect on the EHL film thickness, given that it is 
well-established that EHL oil film thickness is a function of 
the lubricant viscosity in the inlet of the contact and there-
fore depends on the inlet contact temperature (see [22, 23] 
for example). The question that needs answering is therefore 
that of whether correlation means causation: in practice, cor-
relation may indeed exist between increased level of slid-
ing and increased amount of micropitting damage but the 
mechanism responsible for any correlation is not clear and 
warrants further scrutiny if appropriate design criteria are 
to be devised.

The above discussion serves to illustrate the need for 
better understanding of physical mechanisms responsible 
for micropitting, particularly in relation to the influence of 
slide–roll ratio. Consequently, the objective of this paper is 
to provide further insight into the influence of the magni-
tude and direction of slide–roll ratio on micropitting, with 
particular focus on the mechanisms at play. This is done by 
conducting appropriately designed experiments, where the 
influence of a single contact parameter of interest is iso-
lated, together with numerical contact analyses to further 
elucidate the stress history experienced by the roughness 
asperities of the contacting surfaces at different slide–roll 
ratios. The findings described here can help in devising 
appropriate design guidelines to prevent micropitting fail-
ures in geared transmissions and other mechanical systems.
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2  Experimental Methods and Materials

2.1  The Micropitting Rig (MPR)

Micropitting tests were conducted using a PCS Instru-
ments Micropitting Rig illustrated in Fig. 1. The rig uses 
a triple contact design whereby a central roller specimen 

is in contact with three counterface discs, resulting in three 
roller contact cycles per roller revolution. The specimen 
arrangement inside the test cell is shown in the photograph 
in Fig. 2, while the schematic diagram in Fig. 3 illustrates 
the loading and lubrication mechanisms employed in the 
rig. Load is applied to the roller specimen through the top 
disc using a motorized loading arm. The three counterface 
discs are located 120° apart which results in equal reaction 
force at each of the three roller–disc contacts. The roller and 
counterface discs are driven by separate motors so that any 
slide–roll ratio in the range – 200 to + 200% can be achieved. 
Lubrication is achieved using a temperature-controlled dip 
lubrication system, with the bottom two counterface discs 
partially submerged and dragging oil into all three contacts 
during operation. Oil sump temperature is measured using 

Fig. 1  General layout of the PCS instruments micropitting test rig (MPR)

Fig. 2  Inside of the micropitting rig test chamber showing the central 
test roller and the three counterface discs

Fig. 3  A schematic of the micropitting test rig including the loading 
mechanism
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a resistance thermometer positioned within the test cell. 
The roller specimen drive shaft is equipped with a torque 
meter, which provides a continuous measurement of torque 
throughout the tests, thus enabling the average contact fric-
tion coefficient to be monitored.  

In its current form, this experimental set-up was first 
successfully used by Olver and co-workers [4] although its 
origins can be traced to earlier studies by Graham [24]. The 
set-up has since been repeatedly proven to be suitable for 
studies of pitting and micropitting [5, 15, 25].

2.2  Test Specimens

The specimens used in this study were a 12-mm-diameter 
cylindrical test roller and crowned counterface discs, where 
the crown radius transverse to rolling direction was 80 mm 
and the disc diameter in the rolling direction was 54.15 mm. 
The specimens are illustrated in the schematic drawing of 
Fig. 4. This specimen configuration results in an elliptical 
contact geometry. This is in contrast to the ‘standard’ line 
contact geometry commonly employed on the PCS MPR rig 
which is formed with a ‘chamfered’ cylindrical roller and 
cylindrical counterface discs. The implications of the choice 
of MPR contact geometry are discussed in some detail by 
the present authors in [26]. For the purposes of this study, it 
should be noted that the employed elliptical contact geom-
etry avoids edge stresses that are present in the ‘standard’ 
MPR line contact set-up, while also allowing the amount of 
micropitting wear to be measured more easily. On the other 
hand, the elliptical contact does mean that the initial contact 
pressure can reduce slightly over the course of the test if 
significant amount of wear is generated. All specimens were 
made of case-carburized 16MnCr5 gear steel with nominal 

composition shown in Table 1. The test roller case depth was 
approximately 0.9 mm. The roller and disc were hardened 
to approximately 680 HV and 750 HV, respectively. This 
hardness differential was previously shown to be suitable for 
controlled micropitting tests [27], since it ensures that the 
surface of the counterface discs remains largely unchanged 
over the test duration and the fatigue damage is preferentially 
generated on the test roller. 

The surfaces of both the test rollers and counterface discs 
were circumferentially ground, that is the roughness lay was 
oriented in the rolling direction. Given the known influence 
of surface roughness on micropitting, the finish of the spec-
imens was carefully controlled to minimize the variation 
between tests as much as possible. All surface roughness 
values were measured using a Taylor Hobson Talysurf stylus 
profilometer. The quoted roughness values are an average of 
four measurements for each specimen taken in the direction 
transverse to rolling direction. The as-received rollers and 
discs had an average nominal root mean square roughness, 
Rq = 0.20 ± 0.04 µm and Rq = 0.42 ± 0.006 µm, respectively. 
It should be noted that the variation of the roller roughness 
is largely irrelevant since the roller is softer than the discs 
and its initial surface topography is very quickly modified 
through running-in and micropitting. In contrast, the rough-
ness of the harder counterface discs is of major significance, 
since it persists during the test, and any significant roughness 
variations from specimen to specimen can affect the relative 
rates of micropitting.

2.3  Test Lubricant

All tests were performed with a custom-blended oil which 
consisted of polyalphaolephin (PAO) base-oil with zinc 
dialkyldithiophosphate (ZDDP) anti-wear additive blended 
in at a treat rate of 0.1 wt% phosphorus. A custom-blended 
oil with a known formulation was used here in preference 
to a fully-formulated commercial oil in order to avoid any 
effects of unknown oil additive packages. ZDDP anti-wear 
additive was added to oil in order to minimize mild wear 
of the surfaces, so that the counterface roughness persists 
throughout the test, thus promoting micropitting. This com-
petition between mild wear and micropitting is well-known 
to have a crucial effect on the amount of micropitting under 
given conditions [5, 15] and the presence of ZDDP ensures 
that the outcome of this competition is controlled in favour 
of micropitting in the present tests since it is micropitting 
that is of interest here. The viscosity and density of the test 
oil were measured using a Stabinger viscometer to be 25 cSt, 
0.8108 g/cm3 at 40 °C and 5 cSt, 0.7732 g/cm3 at 100 °C, 
respectively. Viscosities at other temperatures were then 
calculated using the ASTM D341-722 standard equation. 
It should be noted that the combined choice of oil, surface 
roughness and temperatures in the present tests was made 

12 mm

Ø54.15 mm

Fig. 4  Schematic diagrams of the micropitting test specimens: cylin-
drical test roller (left) and a crowned counterface disc (right)

Table 1  Nominal composition of 16MnCr5 steel used for present test 
specimens

C Si Mn Cr

Composition % 0.14–0.19 < 0.4 1.1–1.3 0.8–1.1
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to ensure that the specific film thickness (as defined below) 
was sufficiently low to cause micropitting so that the phe-
nomenon could be studied.

2.4  Micropitting Test Procedure

Test specimens and fasteners were ultrasonically cleaned 
first in toluene and then isopropanol for 15 min prior to test-
ing. Before each test the test chamber of the rig was cleaned 
using toluene followed by isopropanol and then dried. 
In order to remove all traces of lubricant from previous 

experiments, a flushing step was performed with the test 
lubricant prior to running the actual tests.

All tests were conducted to the same number of 5.12 mil-
lion contact cycles seen by the test roller specimen. In order 
to make a valid comparison of micropitting damage at dif-
ferent slide–roll ratios (and hence different roller rotational 
speeds), the number of load cycles for the roller is calcu-
lated using the actual roller speed in each case. In addition, 
the test durations were adjusted as needed so that the total 
number of roller contact cycles was the same (5.12 million) 
for all slide–roll ratios used. The tests were interrupted at 
set intervals, specified in Table 2, in order to measure sur-
face profiles and take optical micrographs of the test roller 
surface. At each inspection interval, four surface profile 
measurements of the roller specimen were taken across the 
running track (transverse to rolling direction) using a Tay-
lor Hobson Talysurf stylus profilometer. The measurements 
were used to quantify the amount of micropitting wear at 
each step. Figure 5 shows a typical wear profile and illus-
trates how the value of maximum micropitting wear depth is 
obtained from it. In addition, surface profiles of counterface 
discs were also measured during selected inspection inter-
vals in order to confirm that no wear or excessive reduction 
in roughness of the discs has occurred due to mild wear. This 
was confirmed in all cases. 

Table 2  Roller inspection intervals in the current micropitting test 
procedure

Test step 
number

Number of roller contact 
cycles × 106

Cumulative number of 
roller contact cycles × 106

1 0.09 0.09
2 0.42 0.51
3 0.42 0.93
4 0.84 1.77
5 0.84 2.60
6 0.84 3.44
7 0.84 4.28
8 0.84 5.12

Fig. 5  An example surface 
profile of a micropitted roller 
test specimen measured in the 
direction transverse to rolling. 
The maximum micropitting 
wear depth indicated on the 
figure was used as a parameter 
describing micropitting severity 
at each inspection step
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2.5  Isolating the Influence of Slide–Roll Ratio 
on Micropitting by Accounting for Thermal 
Effects

Given that the primary aim of this study was to evaluate 
potential effects of the slide–roll ratio (SRR) on the severity 
of micropitting, the test procedure was designed to closely 
control all other test parameters while only varying the 
slide–roll ratio. In particular, the increase of specimen bulk 
temperature associated with higher frictional heat input at 
increased SRRs had to be accounted for. This is important 
because a rise in bulk temperature produces an increase 
of contact inlet temperature and consequently reduces 
the oil viscosity at the contact inlet, leading to a reduced 
EHL film thickness. The same sequence of events occurs in 
real machine elements, particularly in gears where the SRRs 
are relatively high. The importance of this thermal response 
in gear testing is discussed in detail by Olver [28]. Given the 
strong relationship between the lubricant film thickness and 
micropitting, it is clear that if the influence of SRR alone 
on micropitting is to be isolated and understood, the test 
procedure must be designed to keep the film thickness, and 
hence the lambda ratio, the same for all tested SRRs. This is 
done in the present tests by calculating the bulk temperature 
increase of the specimens at each SRR and then adjusting the 
oil sump temperature accordingly so that the contact inlet 
temperature is kept the same regardless of SRR. The method 
is outlined below.

Accurate prediction of temperatures in lubricated roll-
ing–sliding EHL contacts is not straight forward. CFD meth-
ods can be used to obtain complete temperature distribution 
[29] but given the computational complexities involved, this 
approach is only really feasible for single contacts and not 
practical in the case of real components, particularly when 
bulk temperatures are of interest. Given these difficulties, 
various approximations are commonly used to provide rough 
estimates in affected applications, notably in gears [30]. In 
this case, the difficulties arise mainly owing to the fact that 
the coefficient of friction is usually not known, and that it is 
very difficult to calculate heat transfer coefficients for gears 
rotating in a two phase mixture of air and oil. However, it 
is possible to provide relatively accurate estimates of bulk 
temperature increase if friction is known, i.e. measured, and 
the geometry of the contacting components is such that heat 
transfer coefficients can be estimated from basic heat trans-
fer relationships. A suitable method was outlined by Olver 
[28] and extended by Olver and Spikes [31] who applied it 
to a contact of two discs. Kadiric et al. [32] used a similar 
approach to predict tooth bulk temperatures for a pair of 
meshing spur gears. Here the approach is adapted to predict 
bulk temperature increase of the discs and the roller in the 
present triple-disc test rig.

The slide–roll ratio (SRR) is defined here as

where  v1 and  v2 are the surface speeds of the roller and disc, 
respectively. Since the direction of sliding is of significance 
in micropitting, the reader should note that the SRR defini-
tion in Eq. 1 is such that a negative value of the slide–roll 
ratio means that the roller is slower than the disc.

The rate of frictional heat generated in a rolling–sliding 
contact between the roller and the disc is given by

where q′[Watts] is the rate of heat generated, μ is the fric-
tion coefficient, W [N] is the normal load and Δv [m/s] is 
the sliding speed. Clearly, increasing the SRR at a constant 
entrainment speed results in a larger amount of heat genera-
tion since the sliding speed, Δv , is increased.

Figure 6 illustrates the various temperatures of relevance 
to EHL contacts, namely mean  in-contact oil film tem-
perature, Toil, mean in-contact surface flash temperatures, 
Tf1 and Tf2, bulk temperatures of the two surfaces, Tb1 and 
Tb2 (which may be different if the two surfaces have dif-
ferent speeds), and the inlet temperature (mean bulk tem-
perature), Tb. The situation presented is analogous to a gear 
tooth contact where Tb is the mean bulk tooth temperature 
and is often estimated by either assuming that it is 20 °C 
higher than the sump temperature (TA) or by using approxi-
mate relationships such as that in [30] which estimates that 
Tb= TA+0.56∆Tf, max, where ∆Tf, max is the maximum flash 
temperature rise along the path of contact during one mesh 

(1)SRR =
sliding speed,Δv

entrainment speed, ve
=

v1 − v2

(v1 + v2)∕2
,

(2)q� = �W|Δv|,

Load, W

Bulk temp., Tb1

Bulk temp., Tb2

Inlet temp., Tb

Body 1

Body 2

Oil film

Fig. 6  Contact temperatures in an elastohydrodynamic (EHL) con-
tact: mean  oil film temperature, Toil, mean  in-contact surface flash 
temperatures, Tf1 and Tf2, bulk temperatures of the two surfaces, Tb1 
and Tb2, and the mean bulk (inlet) temperature, Tb, which is used for 
the film thickness predictions. U1 and U2 are the surface speeds of the 
two contacting surfaces, the roller and the disc in the case of the MPR 
rig or two meshing gear teeth for example
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cycle. The method presented here attempts to provide more 
accurate predictions applied to the MPR rig.

The frictional heat generated in the contact between the 
roller and the disc specimens is conducted away into their 
surfaces (the heat convection by oil is negligible particu-
larly at low specific film thicknesses). As a result, the bulk 
surface temperature Tb rises above the oil sump temperature 
Ta. The bulk temperature of the roller (Tb1) and a disc (Tb2) 
are, respectively,

where α is the proportion of heat conducted into the roller 
in each of the three contacts (hence, the proportion (1 − α) 
is conducted into each of the counterface discs) and M1 and 
M2 are the steady-state thermal resistances of the roller and 
a disc, respectively. M1 and M2 depend on the geometry and 
the heat transfer coefficients of the roller and discs. The lat-
ter is difficult to calculate accurately but can be estimated 
using known heat transfer expressions for discs as described 
by Olver [28].

The value of the heat partition coefficient, α, is found by 
equating the mean contact temperature of the two bodies 
as first suggested by Jaeger [33]. Under conditions where 
film thickness is low enough for significant solid-to-solid 
contact to occur, as is the case here, the temperature differ-
ence across the oil film can be ignored (i.e. ∆Toil= 0) so that 
the mean in-contact temperatures of the two bodies can be 
assumed to be the same, i.e.

where  Tc is the mean contact temperature. This approach 
of assuming the mean contact temperature of the two bodies 
to be equal is a widely accepted one. However, in reality the 

(3)Tb1 = Ta + 3�q�M1

(4)Tb2 = Ta + (1 − �)q�M2,

(5)Tb1 + ΔTf1 = Tb2 + ΔTf2 = Tc.

two bodies each have a distribution of contact temperatures 
so that a full treatment requires that the temperatures are 
matched at each local point which in turns affects the heat 
partition fraction which in itself varies locally [34]. Given 
the numerous factors that affect the heat flows in the MPR 
test rig and the relatively small SRR employed, the use of 
the accepted assumption of equal mean temperatures is justi-
fied here.

The heat flow described here is represented by the ther-
mal network shown in Fig. 7.

The mean flash temperature rise, ΔTf  , of the roller and 
discs can be calculated using expressions provided by Jaeger 
[35]:

where subscript i is either 1 or 2 identifying the roller or the 
disc, A is the contact area, b is the contact semi-width in 
rolling direction, k is the heat conductivity of the material 
and χ is the diffusivity of the material (i.e. � = k∕�c , where 
ρ and c are the density and specific heat capacity).

Substituting the expressions in Eqs. 3, 4 and 6 into Eq. 5 
and, for the sake of simplicity, denoting the transient thermal 
resistances of the roller and the disc as Bi =

1

Aki

(
�ib

vi

)1∕2

 , the 
heat partition fraction, α, can now be found as

This then allows the bulk temperatures of the roller 
and the disc, Tb1 and Tb2, to be found. Since the roller and 
discs have different speeds (as determined by the imposed 
slide–roll ratio), the mean oil temperature in the inlet, Tb, 

(6)ΔTf ,i =
1.06aiq

�

Aki

(
�ib

vi

)1∕2

,

(7)� =
1.06B2 +M2

1.06(B1 + B2) + (3M1 +M2)
.

Fig. 7  Thermal network for the three ring–roller contacts in the MPR 
rig. M1 and M2 are the steady-state thermal resistances of the roller 
and a disc, respectively, B1 and B2 are the transient thermal resist-
ances of the roller and a disc, respectively, q′ is the frictional heat flux 

generated in each of the three ring–roller contacts, and α is the heat 
partition fraction. Ta, Tb and Tc are ambient (sump), bulk and mean 
contact temperatures, respectively
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is found as a speed weighted average of the two bulk tem-
peratures, i.e.

In the present study, the above analysis is applied to each 
set of test conditions used and the value of oil sump tempera-
ture, Ta, adjusted in each case so that the oil inlet tempera-
ture, Tb, and therefore the film thickness, is the same in all 
tests regardless of the test conditions imposed. This allows 
for any potential thermal effects to be eliminated so that the 
influence of slide–roll ratio can be studied in isolation.

2.6  Test Conditions

Test conditions were chosen to be representative of steel 
gear applications as well as to ensure that micropitting 
damage was produced in preference to excessive mild wear. 
Occurrence of mild wear makes it difficult to study micropit-
ting as they are competing damage mechanisms: excessive 
mild wear, particularly of the harder counterface, inhibits 
crack initiation and propagation [5, 15]. The outcome of the 
competition between mild wear and micropitting is heavily 
influenced by the specific film thickness (Λ ratio). Previous 
research has shown that micropitting can reliably be gener-
ated in the micropitting rig at Λ ratios of about 0.12 and less 
[5, 15] and relatively low contact pressures. Consequently, 
the present study was conducted with Λ ratio of 0.1 in all 
cases and maximum Hertzian contact pressure of 1.78 GPa 
and 1.4 GPa, both of which are representative of typical 
gear teeth contacts. The predicted value of the minimum 
EHL film thickness in all tests was 43 nm using Dowson 
and Hamrock EHL film thickness equation [36] with the oil 
pressure-viscosity coefficient of 15 GPa−1 and the inlet oil 
temperature predicted as described above. Slide–roll ratios 
of 15%, 5%, − 5%, − 15%, − 30% were chosen. This range 
covers typical slide–roll ratios found in gear applications. 
The speeds of discs and the roller were set appropriately in 
each case to achieve the desired SRR but the entrainment 

(8)Tb =
�1Tb1 + �2Tb2

�1 + �2
.

speed itself was kept constant at 2 m/s in all tests. Table 3 
lists the complete set of conditions used in the present study. 
It is evident in the table that the sump oil temperature was 
adjusted between tests to account for the effects of bulk 
heating at different slide–roll ratios and loads so that the 
inlet oil temperature was the same (106 °C) in all cases to 
give the same Λ ratio of 0.1 in all tests. The control of bulk 
heating effects was achieved following the procedure out-
lined earlier. Any additional effects of load changes on film 
thickness were also accounted for through sump temperature 
adjustment but, given the insensitivity of EHL film thickness 
to the applied load, these are minimal and not apparent in 
the quoted inlet temperature values rounded to the nearest 
whole number. Finally, measured average friction coefficient 
was about 0.09 in all tests. The minimal variation in friction 
between tests was a direct result of keeping the Λ ratio con-
stant and is important since the level of friction is known to 
influence the extent of micropitting damage [16].

The definition of the Λ ratio in this paper is based on the 
minimum film thickness and the counterface disc roughness 
only, rather than compound roughness of the disc and the 
roller specimen, i.e.

where hmin [m] is the minimum oil film thickness and Rq is 
the root mean square roughness [m]. Excluding the rough-
ness of the test roller from the definition is more representa-
tive of the contact conditions throughout the duration of the 
test since the initial roughness of the roller is quickly modi-
fied due to damage so including its initial value is largely 
meaningless. In contrast, the roughness of the harder coun-
terface persists throughout the test duration. This definition 
of Λ ratio is also consistent with previous micropitting stud-
ies using the MPR rig [4, 5, 16].

(9)� =
hmin

Rq,disc

,

Table 3  Test conditions used in 
the current micropitting study Slide–roll ratio 2 × (Uroller − Udisc)/(Uroller + Udisc) − 0.3 − 0.15 − 0.15 − 0.05 − 0.15 0.05 0.15

Entrainment speed (m/s)  (Udisc + Uroller)/2 2
Load (N) 500 500 500 500 240 500 500
Max Hertz contact pressure (GPa) 1.78 1.78 1.78 1.78 1.40 1.78 1.78
Sump temperature (°C) 77 89 89 100 94 100 85
Contact inlet temperature (calculated using the 

method outlined in Sect. 2.5) (°C)
106

Measured coefficient of friction (quoted value is 
the average over test duration)

~ 0.09

Predicted minimum film thickness, hmin (nm) 43
Lambda ratio (= hmin/Rq, disc) 0.1
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2.7  Lubricant Film Thickness Measurements

An optical EHD test rig (PCS Instruments EHD 2 rig) was 
used to investigate the effect of slide–roll ratio on elasto-
hydrodynamic film thickness with the same model oil that 
was used in micropitting tests. These film thickness results 
were needed when assessing the merits of potential mecha-
nisms that may be responsible for the observed increase in 
micropitting with increasing SRR, as will be discussed later. 
The method utilizes an optical interferometry technique to 
measure the oil film thickness between a steel ball (or a bar-
rel) and a glass disc in a sliding–rolling contact. The ball and 
disc are held in a temperature-controlled lubricant bath. In 
the present study it was desired to obtain a complete map of 
lubricant film in the contact in order to study both the central 
and minimum film thickness values, so the optical inter-
ferometry rig was operated with the spacer layer imaging 
method (SLIM) [37]. The standard configuration of this rig 
employs a ball-on-disc set-up. However, the present study 
employed an additional configuration of a barrel roller on 
glass disc which results in an elongated elliptical contact and 
therefore closely mimics the elliptical contact geometry used 
in the MPR micropitting tests, thus enabling the two sets of 
results to be directly related.

3  Results

3.1  Observed Morphology of Micropitting Damage

Micropitting damage was successfully produced on the test 
rollers at all conditions employed here. Examination of the 
roller surface throughout the test (as described in Table 2) 
with stylus profilometer and an optical microscope showed 
that the roller radius was progressively reduced due to 
micropitting damage on the surface. At the end of the test, 
the roller surfaces were also inspected using a scanning elec-
tron microscope (SEM). Figure 8 shows SEM micrographs 
of roller specimen surfaces tested at different SRRs. In all 
cases, the surfaces contained a high density of uniformly 
spaced V-shaped cracks and small pits. The cracks were 
oriented transversely to the rolling direction and their size 
was up to 50 µm. In some cases adjacent cracks coalesce or 
overlap each other. This damage morphology was consistent 
along the whole circumference of the specimens and covered 
the entire width of the running track.

Metallographic sections of test rollers were prepared 
by cutting through the centre of the running tracks along 
the direction of rolling, followed by polishing. Figure 9 
shows example SEM micrographs of such roller sections 
for SRR = − 0.05 and + 0.05, where typical crack growth 
into the subsurface is clearly visible, while Fig. 10 shows 
examples of typical micropits apparent on these sections. It 
is evident that cracks generally form a shallow angle with 

SRR = 0.05 p0 = 1.8 GPa SRR = 0.15 p0 = 1.8 GPa

SRR = -0.05 p0 = 1.8 GPa SRR = -0.15 p0 = 1.8 GPa SRR = -0.3 p0 = 1.8 GPa 

100 µm Fric�on Over-rolling

SRR = -0.15 p0 = 1.4 GPa

Fig. 8  SEM images of typical micropitted roller surfaces from the current tests, showing shallow micropits and numerous V-shaped cracks 
growing in opposite direction to applied friction force
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the surface and have a length of approximately 10–20 µm. 
The direction of friction and contact motion is also indi-
cated in Figs. 8, 9 and 10. It is immediately apparent that 
cracks grow in the direction opposite to the direction of the 
applied friction force. Cracks initially extend into the mate-
rial eventually forming a micropit with a depth of approxi-
mately 5–10 µm as seen in Fig. 10. The general appearance 
of micropitting damage described here was very similar 
across all SRRs and pressures employed in this study. These 
characteristics of micropitting cracks are in line with general 
appearance of micropitting on gear teeth surfaces and have 
been observed previously for surface-initiated rolling contact 
fatigue cracks [1, 15, 25, 38]. 

3.2  Influence of SRR on Progression of Micropitting

The progression of test roller diameter loss due to micro-
pitting damage was recorded in all tests listed in Table 3. 
The progression of micropitting was quantified by measur-
ing surface profiles across the running track on roller speci-
mens at specified intervals throughout the test as outlined 
in Table 2. As an example, Fig. 11 shows a series of surface 

Fric�on 

Fric�on 

Over-rolling 

Over-rolling 

 (a) SRR = -0.05 

 (b) SRR =  0.05 
10 µm 

10 µm 

Fig. 9  An SEM image of a cross section (in rolling direction) of typical examples of micropitted roller specimens showing surface-breaking 
cracks growing at a shallow angle into the surface: a SRR = − 0.05 test and b SRR = + 0.05 test

SRR = -0.3 Fric�on Over-rolling

2 µm

SRR = 0.15 Fric�on Over-rolling

15 µm

SRR = 0.15 Fric�on Over-rolling

10 µm10 

Fric�on Over-rollingSRR = -0.3

Fig. 10  SEM images of test rollers sectioned in rolling direction showing typical morphology of micropits
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Fig. 11  Example of a typical set of test roller surface measurements 
taken during the test, showing the progression of micropitting wear 
at a slide–roll ratio of − 0.15 (the number of cycles corresponding to 
each step are listed in Table 2)
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measurements for the test performed at SRR = − 0.15, illus-
trating the progression of micropitting wear with increasing 
number of test cycles. Measurements at other SRR levels 
show similar behaviour in terms of continuous loss of profile 
but with different absolute values of micropitting wear depth 
at equivalent test stages.

This approach of quantifying the progression of micropit-
ting damage is in line with that employed by Olver and co-
workers [4, 5] on the same experimental set-up. It is worth 
noting here that in practical situations it is such progression 
of micropitting damage that leads to component failure, for 
example a significant loss of a gear tooth profile my lead to 
eventual gear failure. The alternative approach of generat-
ing only a few micropits locally on the surface of the test 
specimen and subsequently expressing the extent of micro-
pitting damage as the proportion of studied area occupied 
by micropits, rather than the actual loss of material, is less 
applicable to practical situations since existence of a limited 
number of isolated micropits on the surface of a component 
such as a gear is generally not detrimental to its integrity; 
this alternative approach is also somewhat subjective since 
it is strongly dependent on the exact choice of the surface 
area over which micropitting is to be assessed.

The described profile measurements were taken at four 
different positions around the roller circumference for each 
test roller at each test interval. The parameter used to quan-
tify the severity of micropitting was the average maximum 
depth of the wear track relative to the unworn, out of con-
tact portion of the specimen as shown in Fig. 5. This wear 
depth was then plotted against the number of roller load 
cycles for each case. Figure 12 presents a plot of this average 
maximum micropitting wear depth for tests at SRR = − 0.05, 
− 0.15 and − 0.3 all at Hertz pressure of 1.78 GPa. The 
results of two repeats for SRR = − 0.15 are shown indicat-
ing good repeatability. It can clearly be seen in Fig. 12 that 
increasing SRR resulted in higher micropitting wear for a 
given number of loading cycles. The deepest final wear track 
was recorded in the test with SRR = − 0.3. The likely reasons 
for the observed increase in micropitting wear with increas-
ing SRR are considered in the discussion section.

To better understand these observations, the influ-
ence of sliding magnitude was analysed further. Since the 
entrainment speed was constant across all tests, increasing 
the SRR results in higher sliding speeds in the contact. 
Consequently, with increasing SRR the test specimens 
accumulated a longer sliding distance at equivalent num-
bers of contact cycles. Sliding distance is defined here as a 
product of sliding speed and test duration. Figure 13 plots 
the average maximum micropitting wear depth as a func-
tion of accumulated sliding distance. It can be seen that 
the micropitting wear curves at all SRR now collapse onto 
one master curve, i.e. the level of micropitting damage 
at a given sliding distance is the same for all SRRs. This 

observation clearly suggests that it is not the SRR itself 
that directly determines the level of damage but instead, 
the influence of SRR is via the increased sliding distance. 
Clearly, when all other variables are excluded, there exists 
a strong correlation between sliding distance and micropit-
ting wear severity. The mechanisms responsible for this 
relationship are explained in the discussion.
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The measured evolution of friction coefficient for tests 
at different SRRs is shown in Fig. 14. It is evident that any 
apparent differences in friction between different tests are 
minimal, particularly considering the long test duration, 
with an average value of about 0.09 being representative 
of all tests. The small steps in friction traces apparent at 
specific times correspond to inspection intervals (specified 
in Table 2) when the roller was removed for damage inspec-
tion and subsequently placed back in the rig to continue the 
test. These are in part an artefact of the way the rig records 
friction but regardless, the overall long-term friction trend is 
unaffected. It should also be noted that, following the initial 
and rapid drop in friction due to wearing-in, friction remains 
relatively steady over the test duration which covers more 
than 5 million cycles.

3.3  Influence of Sliding Direction on Progression 
of Micropitting

The effect of direction of sliding velocity (i.e. positive or 
negative slide–roll ratio) on the micropitting damage was 
also studied. Figure 15 plots the progression of average 
maximum micropitting wear depth against roller load cycles 
for two levels of positive and negative SRR, namely ± 0.05 
and ± 0.15, with all other contact conditions being equal. 
Although micropitting was recorded for both sliding direc-
tions, it is immediately evident that at both absolute values 
of SRR significantly more micropitting wear was recorded 
for the negative value of SRR, i.e. when the roller is slower 
than the counterface ring. Reversing the direction of slid-
ing reverses the direction of resultant traction force on the 
roller with respect to the direction of contact movement. 
For negative SRR, traction and contact movement direction 
are opposite to each other, while for positive SRR they are 
the same. Although we are here concerned with very short 
cracks leading to micropitting damage, this trend of negative 

sliding being relatively more damaging is also in line with 
previous observations of progression of surface-initiated 
pitting damage [1, 38, 39]. Figure 16 plots the maximum 
micropitting wear depth for the negative and positive SRR 
of 0.05 and 0.15 against the sliding distance in the same 
manner as done earlier in Fig. 13. In this case, the curves for 

Fig. 14  Measured evolution of friction coefficient for tests at different 
SRRs; p0 = 1.78 GPa
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different directions of sliding do not collapse on the same 
master curve, in contrast to Fig. 13. It is clear from Fig. 16 
that despite the fact that the total sliding distance is broadly 
the same for a given absolute value of SRR regardless of the 
direction of sliding, the micropitting wear was much higher 
for negative SRRs than positive ones at a given absolute 
value of SRR. The difference is particularly apparent in the 
case of SRR = ± 0.15 since at this level of SRR the amount 
of micropitting is comparatively high, so relative differ-
ences become more apparent. This observation suggests the 
presence of additional mechanisms contributing to damage 
in the case of negative SRR as will be discussed later, but 
here it is worth noting that in gear applications, micropitting 
often occurs preferentially in the dedendum where the SRR 
is negative [1, 17], although the exact spread of damage in 
any particular case depends on the balance of other local 
conditions such as contact pressure, lambda ratio and mild 
wear coefficient. 

As a summary of the effect of SRR on the extent of 
micropitting damage, Fig.  17 shows the final values of 
the maximum micropitting wear depth for all magnitudes 
and directions of SRR studied here. A clear trend is evident 
where the level of damage is highest at the largest nega-
tive SRR, SRR = − 0.3, and steadily decreases as the SRR 
reduces to − 0.15 and − 0.05 and then decreases further as 
SRR becomes positive at 0.05.

3.4  Influence of Hertz Pressure on Progression 
of Micropitting

The effect of applied Hertz pressure on micropitting damage 
at a fixed slide–roll ratio was also briefly studied. Figure 18 
plots the average maximum wear depth at SRR = − 0.15 for 
1.78 GPa and 1.4 GPa maximum Hertzian contact pressures. 
As may intuitively be expected given the fatigue origins of 
micropitting damage, reducing contact pressure from 1.78 
to 1.4 GPa has the effect of significantly decreasing micro-
pitting severity.

4  Discussion

The micropitting test results clearly showed that increasing 
the slide–roll ratio at a fixed entrainment speed, i.e. increas-
ing the magnitude of sliding velocity, increases the severity 
of micropitting damage. In addition, the level of damage 
correlated very well with the sliding distance covered by 
the roller at different slide–roll ratios. The latter observation 
suggests that it is not the magnitude of the SRR itself that 
drives the increase in damage but that other mechanisms 
related to the sliding distance are at play. The experiments 
that led to these observations were performed under closely 
controlled contact conditions so that the influence of SRR 
itself was isolated. In particular, increasing the SRR can lead 
to an increase in bulk (oil inlet) temperature and the associ-
ated reduction in EHL film thickness; this effect was elimi-
nated in the tests by adjusting the oil sump temperature in 
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order to keep the oil inlet temperature the same for all SRRs 
tested. The increased micropitting damage at higher SRRs is 
therefore not caused by any reduction in film thickness but 
by some other mechanism(s). These will be discussed now.

4.1  Effect of Slide–Roll Ratio on EHL Film Thickness

One recently proposed mechanism to explain how sliding 
affects micropitting damage is that the increase in SRR leads 
to an increase of in-contact temperature which is then sug-
gested to cause a drop in elastohydrodynamic film thick-
ness and thus produce more micropitting [20, 21, 40]. In 
recent years, this mechanism has been subject of a wider 
discussion as part of efforts by international gear standard 
bodies to produce a way of assessing micropitting risk in 
gear applications [18, 19]. Although it is well established 
that in-contact temperature does indeed rise with increasing 
sliding velocity (see for example [22, 31]), the established 
EHL theories show that this only affects contact friction 
through the associated drop of in-contact oil viscosity, but 
has no effect on film thickness because this is determined 
by the lubricant properties, and hence the temperature, in 
the inlet to the contact. Several authoritative works exist 
discussing the relative effects of in-contact oil properties and 
inlet oil properties on EHL film thickness and traction; Ref. 
[22] for example gives a good overview. Review of literature 
also reveals experimental studies where SRR in the range 
from pure rolling to 100% was shown not to affect EHL 
film thickness, see for example [41, 42]. Although one may 
expect that at SRR magnitudes close to pure sliding condi-
tions (SRR = 200%) some inlet heating may occur which 
can lead to a drop of EHL film thickness, evidence suggests 
that within the SRR range applicable to gears, (~ 0–50%), 
its effect on the EHL film thickness is negligible. Therefore, 
the conjecture that SRR increases micropitting via an associ-
ated decrease in EHL film thickness warrants further scru-
tiny. What is not in doubt is the clear correlation between 
higher SRR and higher micropitting damage; the question 
that needs answering here is whether this correlation implies 
direct causation or there is a third factor at play. To study this 
further, the effect of slide–roll ratio on elastohydrodynamic 
film thickness was investigated here by performing EHL film 
thickness measurements over a range of SRRs.

These measurements were performed on a PCS Instru-
ments EHD 2 Rig [43] which employs a spacer layer optical 
interferometry technique to measure oil films with accuracy 
of a few nm [37, 44]. The rig employs a ball-on-disc con-
figuration as standard; however, in this study additional tests 
were performed with a barrel roller on a disc set-up since 
this more closely reproduces the elliptical contact geom-
etry that was employed in the micropitting tests. The barrel 
roller major to minor radius ratio was 7 to 1 and contact was 
formed with the major axis transverse to rolling as is the 

case in the micropitting tests. In this test set-up the contact 
is formed between a ball (or a roller) and a disc within a 
temperature-controlled oil bath so that no significant bulk 
heating effects occur. The disc and the ball (or roller) are 
driven by separate motors so that any SRR can be achieved.

Figure 19 shows the measured central film thickness val-
ues for the elliptical contact geometry for two different loads 
(20 N and 50 N) and SRRs ranging from 0 (pure rolling) to 
100% (where 200% is pure sliding). This range of SRR more 
than covers the conditions pertinent to machine elements 
where micropitting may occur, such as bearings and gears. 
It is evident that within this range of conditions the SRR has 
no effect on the central film thickness. The effect of load is 
also minimal as may be expected from the EHD theory. In 
order to investigate the effects of SRR on the distribution of 
the film thickness over the whole contact, rather than just 
the central film thickness, 3D film thickness maps were pro-
duced on the same rig using the standard spacer layer imag-
ing method (SLIM) [44] and the standard ball-on-disc con-
figuration. Figure 20 shows the resulting three-dimensional 
film thickness maps for SRR = 0, 50, 100 and 180%. It can 
be seen that the film shape remains generally unaffected by 
the increase of SRR. In particular, the central film region 
is almost identical in all cases. Figure 21 affords a closer 
look at the relevant trends. This shows two-dimensional 
film thickness profiles parallel to rolling direction extracted 
from the 3D SLIM measurements for a range of SRR. The 
profiles were obtained by selecting a single line through the 
centre of the contact. It can be seen that over the range of 
slide–roll ratios most relevant to gear contacts, i.e. 0–50%, 
both the minimum and central film thickness values do not 
change with increasing SRR. Beyond 100% SRR, there is a 
slight decrease (< 10%) in central and minimum film thick-
ness values. This is likely to be due to inlet heating which 
can be significant at such high SRR, but is in any case irrel-
evant in the context of micropitting damage as the drop is 
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relatively small and occurs at SRR levels much higher than 
those encountered in machine components where micropit-
ting is a problem.  

The EHL film thickness measurements presented here 
clearly show that the higher amount of micropitting damage 
observed at higher slide–roll ratios is not caused by a reduc-
tion of EHL film thickness with increasing slide–roll ratio. 
Furthermore, the obvious influence of the direction of slid-
ing on the extent of micropitting at the same absolute value 

of SRR clearly cannot be caused by any EHL film thickness 
variations since the entrainment speed and total frictional 
heat input are the same regardless of the direction of sliding. 
In fact, notwithstanding the evidence presented here, given 
that micropitting generally occurs at very low specific film 
thicknesses (Λ ratios), it is difficult to see how any small 
variations in the calculated values of this already low Λ 
value can have a major effect on progression of micropitting.

Fig. 20  Three-dimensional maps of elastohydrodynamic film thickness measured using a ball-on-disc specimen configuration at different levels 
of slide–roll ratio



 Tribology Letters (2019) 67:63

1 3

63 Page 16 of 20

4.2  Consideration of Local Asperity Contact 
Conditions

The micropitting experiments presented here were designed 
to isolate the influence of SRR on micropitting by keep-
ing the EHL film thickness and contact friction the same. 
Therefore, the observed increase in micropitting damage 
with increasing SRR is not caused by variation of EHL film 
or friction on macro-contact level. Given that the primary 
cause of micropitting are the local, asperity-level stresses, it 
is necessary to investigate how the conditions on this local 
asperity level may be influenced by changing SRR.

Micropitting is ultimately caused by the mechanism of 
contact fatigue on the asperity level. This requires a fatigue 
crack to be formed and then propagated under the action of 
normal and tangential stresses acting on the asperity micro-
contacts, in much the same way that pitting damage is caused 
by a fatigue crack on the macro-contact level. Initiation and 
progression of such contact fatigue damage is known to be 
heavily influenced by the magnitude of stresses and the num-
ber of stress cycles, as reflected in standard bearing fatigue 
life equations [45] and discussed at length in the literature, 
for example [1, 25, 46, 47]. In lubricated, rough surface 
contacts, asperity interactions and normal and tangential 
stresses in asperity micro-contacts are difficult to predict 
or measure. Rough surface dry contact models clearly show 
that local stress fields are heavily influenced by the geom-
etry of asperities, with local shear stress magnitudes being 
related to asperity slopes and their depths to roughness cor-
relation length or similar measures of asperity spatial distri-
bution [48]. These general trends remain valid under lubri-
cated conditions when specific film thicknesses are low so 
that significant asperity-to-asperity contact occurs, which in 

turn suggests that the lambda ratio itself is not a sufficient 
measure of the risk of micropitting but that the actual struc-
ture of roughness matters too. Under lubricated conditions, 
even at low lambda ratios, additional effects are present at 
asperity micro-contacts not least due to micro-EHL films. 
Factors governing the micro-EHL films are not well under-
stood but some aspects of their influence on normal stresses 
and friction in asperity contacts have been explored in the 
literature, including the potential effects of sliding which 
may therefore be relevant to the observations presented in 
this paper. For example, Olver et al. [49] have shown that 
sliding may increase asperity stresses under mixed lubrica-
tion conditions: under pure rolling, the presence of lubricant 
seems to provide a ‘cushioning’ effect so that the asperity 
pressures are somewhat lower than those that may be found 
in an equivalent unlubricated contact; however, when sliding 
is introduced this cushioning effect seems to disappear and 
the asperity pressures return to the levels similar to those 
found in the equivalent dry contact. Given the strong effect 
of stress magnitude on fatigue lives, this increase in local 
asperity pressures may well contribute to increased micro-
pitting damage when in sliding–rolling as opposed to pure 
rolling contacts. However, the authors only studied one SRR 
(62%) so that it is not possible to say at this time whether 
this effect may also be partly responsible for the increase 
in micropitting damage with increasing SRR. Guegan et al. 
[41, 42] did not observe any influence of the SRR on the 
local film thickness in rough surface contacts operating 
under mixed lubrication conditions and also showed that 
the contribution of roughness to the overall friction under 
these conditions was not affected by the SRR, with any 
increase in friction at higher SRR being the same as may be 
expected with ideally smooth contacts. They did, however, 
observe other micro-EHL-related phenomena that may affect 
micropitting performance: they showed that with increasing 
entrainment speed, the asperity pressures near the periph-
ery of the contact may decrease, while those in the central 
region of the contact increase, which may lead to increased 
fatigue damage locally; they also observed that micro-EHL 
contacts provide a significant contribution to overall con-
tact friction even after complete ‘lift-off’ is achieved, i.e. 
after all asperities are separated by micro-EHL films. This 
suggests that friction behaviour on the local asperity level 
is more complex than simply being equal to the boundary 
friction coefficient on macro-level as is often assumed in 
theoretical treatment of mixed lubrication. Given the known 
influence of friction on rolling contact fatigue lives [50], 
these aspects of frictional behaviour of micro-EHL contacts 
may be of significance to the micropitting performance of 
a given contact.

Given the fatigue origins of micropitting, in addition to 
the implications of the magnitude of normal and tangential 
stresses on local asperities discussed above, the number of 
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stress cycles experienced by asperities is also of signifi-
cance. In this respect, it is possible to establish the influ-
ence of SRR with a relatively high certainty. This can be 
done by solving the relevant rough surface contact problem 
at different time steps to produce a contact stress history 
for each asperity as the two bodies roll and slide over each 
other, along the lines employed in [51]. To this aim, the 
present study employs an existing numerical dry contact 
model, originally devised by Webster and Sayles [52] and 
later extended by Sayles and co-authors [34, 53, 54], to pre-
dict contact pressures in the roller–disc contacts of the MPR 
test rig at the employed loading conditions and using the real 
measured surface roughness profiles. The effect of SRR on 
the stress history of a select single asperity in the contact can 
then be established by plotting the variation of the normal 
stress experienced by the chosen point as it travels through 
the contact at the particular sliding speed of interest. The 
use of a dry contact model can be justified here on the basis 
that tests were conducted at very low Λ ratio of 0.1 so that 
solid-to-solid contact dominates and the fact that only the 
general trends in the number of stress cycles are of interest 
here rather than the exact magnitudes of asperity stresses. As 
an example, Fig. 22 shows a map of surface pressures thus 
calculated for a single instant in time. Figure 23 then shows 
the normal stress histories for two random points on the 
roller surface as they travel through the contact with the 
counterface disc. For comparison purposes stress histories 
for five different slide–roll ratios are shown, ranging from 
pure rolling to SRR = 90%. In these examples, the time 
taken for a surface point to travel across the contact width 
in rolling direction is split into 60 equal time steps. What 
is immediately apparent in this figure is that an increase 
in SRR results in an increased number of asperity stress 
cycles as indicted by more frequent stress oscillations as 
SRR increases. The curves for pure rolling (SRR = 0%) 
show a smooth stress history with a single stress cycle, since 
the point under consideration will remain in contact with 
the same point on the disc surface throughout its passage 
through the contact. On the other hand, the introduction of 
sliding causes an asperity on the roller to come in and out of 
contact with several opposing asperities on the counterface 
disc during its passage through the contact, so that it now 
experiences a number of stress cycles. At a fixed rolling 
speed, the higher the slide–roll ratio the higher the sliding 
speed and hence the more stress cycles any given asperity 

will experience. This is particularly apparent in the figure for 
SRR of 30% and 90%, the latter deliberately included here 
as a hypothetical example to clearly illustrate the described 
effect. The actual magnitude of the normal stress for the two 
example points used here is seen to vary between zero (point 
not in contact with any other point on the opposing surface) 
and about 3 GPa. This compares with the maximum Hertz 
pressure of 1.78 GPa employed in the tests. 

Given that micropitting is caused by rolling contact 
fatigue, clearly an increased number of stress cycles would 
result in higher fatigue damage and therefore an increased 
severity of micropitting. Consequently, the results of Fig. 23 
go some way in explaining the mechanism by which the 
increased levels of sliding produce a higher amount of 
micropitting; namely, with all other things being equal, 
an increase in slide–roll ratio increases the number of asper-
ity stress cycles, which promotes contact fatigue on the 
asperity level and hence results in more micropitting. This 
mechanism is also supported by the fact that the micropit-
ting damage progression was seen to correlate well with the 
sliding distance regardless of the SRR. For a given rough-
ness topography of the two surfaces and a fixed entrain-
ment speed, the number of asperity stress cycles, and hence 
the level of accumulated fatigue damage, is proportional to 
the sliding distance and, consequently, the same severity 
of micropitting damage would be expected to occur for the 
same sliding distance regardless of the SRR. Although other 
micro-EHL effects may be taking place in asperity contacts 
as described earlier, the fact that the observed damage so 
clearly correlates with the sliding distance at different SRRs 
suggests that the number of asperity stress cycles is the main 
mechanism by which the SRR affects micropitting.

These findings indicate that any design parameter intended 
to assess the risk of micropitting in practical applications 
should account for asperity stress history. Given the inherently 
transient nature of local stress conditions in a rough surface 
contact where roughness evolves continuously, be it through 
micropitting itself or mild wear, it is not trivial to achieve 
this in any kind of deterministic manner. However, a good 
attempt can be made by using appropriate numerical models 
of mixed lubrication that include surface roughness evolution, 
asperity stress history and fatigue damage accumulation, such 
as those in [8, 13–15] for example. Such models do not cur-
rently account for crack propagation and present results show 
that this should be addressed if more accurate predictions of 

Fig. 22  An example map of the 
calculated contact pressures for 
the disc–roller contact at a given 
instant in time
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micropitting damage progression are to be achieved. In par-
ticular, it was seen here that the direction of sliding has a very 
important influence on micropitting and this is likely to be 
through its effect on crack propagation rather than initiation. 
The influence of sliding direction on surface fatigue damage 
has been suggested to be due to the enhanced crack growth 
caused by pressurization of lubricant trapped inside a surface-
breaking crack under negative sliding [38, 39], so to account 
for it, a model would need to consider crack propagation and 
not just initiation. In any case, for the purposes of gear design, 
a much simpler micropitting criterion is required if it is to 
be widely accepted. While the difficulties in devising such 
a simple criterion that is able to account for the wide range 
of influencing factors discussed here are acknowledged, one 

potential way forward would be to use the existing numeri-
cal models to produce approximate design charts which may 
then be validated through suitable experiments. Such charts 
should include not only the gear loading and speed param-
eters, but also the gear macro geometry and surface finish in 
order to account for the local aperity stress history during tooth 
meshing.

5  Conclusion

This study investigated the progression of micropitting 
damage in rolling–sliding non-conformal contacts under 
conditions pertinent to gear applications, with particular 

Fig. 23  Stress histories for two 
selected points on the roller 
surface during their passage 
through a roller–disc contact 
at different slide–roll ratios 
and at loading conditions used 
in the tests (Note: The x-axis 
label ‘Time step ID’ denotes 
the instant in time when the 
given stress is acting on the 
point being followed; the time 
sampling interval is uniform in 
all cases)
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focus on the influence of slide–roll ratio (SRR). The 
devised test methodology employs a triple-disc roll-
ing contact fatigue rig which allows the influence of the 
SRR to be isolated through a close control of contact con-
ditions. In particular, any variation in bulk temperature at 
different SRR, and its subsequent influence on EHL film 
thickness and friction, was eliminated by considering the 
thermal network model of the triple-disc set-up and adjust-
ing the oil-sump temperature accordingly. This allowed for 
the influence of the magnitude of sliding to be ascertained 
at the same specific oil film thickness (Λ ratio). Poten-
tial influence of SRR on EHL film thickness is studied 
in parallel using an optical interferometry film thickness 
rig. Finally, an existing numerical model for rough surface 
contacts is used to study the stress histories experienced by 
contacting asperities at different SRRs. The experimental 
observations are then discussed in view of these local, 
asperity-level stress conditions. The main findings can be 
summarized as follows:

• Increasing the slide–roll ratio at a fixed entrainment 
speed leads to an increased level of micropitting dam-
age. The amount of micropitting damage correlates 
well with sliding distance regardless of the magnitude 
of the slide–roll ratio.

• Negative slide–roll ratios (i.e. when the component of 
interest is slower than the counterface) lead to more 
micropitting damage than the equivalent positive SRRs. 
This supports the postulate that propagation rates of 
surface-breaking cracks under negative sliding are 
enhanced.

• In the absence of bulk heating, no reduction in the value 
of central or minimum EHL film thickness is observed 
with increasing slide–roll ratio in the range SRR = 0 to 
100%. Therefore, the postulate made in recent litera-
ture that the increase in SRR causes more micropitting 
through the reduction of EHL film thickness and the 
proposed micropitting risk criterion based on this pos-
tulate are not supported by the present results.

• Analyses of asperity stress history as the surfaces 
slide past each other, using an established numerical 
model of rough surface contacts, show that roughness 
asperities experience a greater number of micro-contact 
stress cycles as the slide–roll ratio increases. Given 
the fatigue origins of micropitting damage, and there-
fore its dependence on the number of stress cycles, 
this means that the main mechanism by which increas-
ing SRR leads to increased micropitting damage is by 
increasing the number of asperity stress cycles. Since 
the number of asperity stress cycles is proportional to 
the sliding distance, this mechanism is supported by 
the fact that the amount of micropitting damage was 

observed here to correlate with sliding distance regard-
less of the actual SRR.

• These findings indicate that any potential design criteria 
intended to assess the risk of micropitting in real machine 
elements, such as gears, need to account for the time his-
tory of local asperity stresses for given operating condi-
tions and surface finish. One potential way to achieve this 
is to utilize numerical models of rough contacts to gener-
ate design charts which indicate the risk of micropitting 
in terms of gear geometry, surface finish and operating 
parameters.

Open Access This article is distributed under the terms of the Crea-
tive Commons Attribution 4.0 International License (http://creat iveco 
mmons .org/licen ses/by/4.0/), which permits unrestricted use, distribu-
tion, and reproduction in any medium, provided you give appropriate 
credit to the original author(s) and the source, provide a link to the 
Creative Commons license, and indicate if changes were made.
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